
Medical Engineering and Physics 67 (2019) 22–32 

Contents lists available at ScienceDirect 

Medical Engineering and Physics 

journal homepage: www.elsevier.com/locate/medengphy 

Finite element investigation into the use of carbon fibre reinforced 

PEEK laminated composites for distal radius fracture fixation implants 

Elizabeth Anne Gallagher a , Steven Lamorinière 

b , Patrick McGarry 

a , ∗

a Biomedical Engineering, National University of Ireland Galway, University Road, Galway, Ireland 
b Invibio Ltd., Hillhouse International, Thornton-Cleveleys FY5 4QD, United Kingdom 

a r t i c l e i n f o 

Article history: 

Received 18 October 2018 

Revised 25 February 2019 

Accepted 3 March 2019 

a b s t r a c t 

Carbon fibre reinforced PEEK (CF/PEEK) laminates provide mechanical advantages over homogenous metal 

osteo-synthesis implants, e.g. radiolucency, fatigue strength and strength to weight ratio. Implants can be 

designed with custom anisotropic material properties, thus enabling the engineer to tailor the overall 

stiffness of the implant to the specific loading conditions it will experience in vivo. 

In the current study a multi-scale computational investigation of idealised distal radius fracture fixa- 

tion plate (DRP) is conducted. Physiological loading conditions are applied to macro-scale finite element 

models of DRPs. The mechanical response is compared for several CF/PEEK laminate layups to examine 

the effect of ply layup design. The importance of ply orientation in laminated DRPs is highlighted. A high 

number of 0 ° plies near the outer surfaces results in a greater bending strength while the addition of 45 °
plies increases the torsional strength of the laminates. Intra-laminar transverse tensile failure is predicted 

as the primary mode of failure. 

A micro-mechanical analysis of the CF/PEEK microstructure uncovers the precise mechanism under- 

lying intra-laminar transverse tensile crack to be debonding of the PEEK matrix from carbon fibres. Plastic 

strains in the matrix material are not sufficiently high to result in ductile failure of the matrix. The find- 

ings of this study demonstrate the significant challenge in the design and optimisation of fibre reinforced 

laminated composites for orthopaedic applications, highlighting the importance of multi-scale modelling 

for identification of failure mechanisms. 

© 2019 IPEM. Published by Elsevier Ltd. All rights reserved. 
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1. Introduction 

The stiffness of metallic orthopaedic implants, e.g. femoral

stems or fracture fixation plates, is an order of magnitude greater

than the stiffness of cortical bone. Furthermore, metal implants

can cause problematic artefacts when subjected to MRI, CT and

X-Ray imaging, resulting in a range of clinical complications in

terms of correctly positioning the device and post-operative as-

sessment [1] . A limited number of orthopaedic implants (e.g. ver-

tebral cages used for spinal fusion) manufactured from short un-

aligned fibre reinforced poly-ether-ether-ketone (PEEK) have been

investigated [2–5] . However, to date, very few continuous carbon

fibre reinforced composite laminates (with multiple ply orienta-

tions) have been used for orthopaedic applications (CarboFix Or-

thopaedics Ltd.). Such laminated composites exhibit a high fatigue

life and a high strength to weight ratio. They do not cause prob-

lematic artefacts when subjected to MRI, CT and X-Ray imaging
∗ Corresponding author. 
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nd have anisotropic material properties that can be tailored sim-

ly by altering the layup of the angled plies in the laminate. A

ontinuous carbon fibre reinforced PEEK composite material, PEEK-

PTIMA 

TM Ultra-Reinforced (Invibio Ltd., Thornton-Cleveleys, UK)

ereafter referred to as CF/PEEK, has been cleared for implanta-

ion in humans by the FDA. This study will investigate the use of

F/PEEK laminates for fracture fixation plates, highlighting the re-

uirement of multi-scale finite element modelling for identification

f optimal ply layups and failure mechanisms. 

The first part of this study entails a macro-scale analysis of

F/PEEK distal radius fracture fixation plates (DRP). All material

roperties and material damage and failure parameters are based

n the recent multi-axial experimental characterisation of CF/PEEK

y Gallagher et al. [6] . Several layup designs are considered, and

he mechanical performance of each design is computed under

hysiological loading conditions. In the second part of this study,

ulti-axial strain states, computed using the macro-scale DRP

odel, are applied to representative volume elements (RVEs) of the

ly microstructure to obtain a new insight into the mechanisms of

ntra-ply failure. This study provides the first multi-scale analysis

ramework for CF/PEEK orthopaedic devices. 

https://doi.org/10.1016/j.medengphy.2019.03.006
http://www.ScienceDirect.com
http://www.elsevier.com/locate/medengphy
http://crossmark.crossref.org/dialog/?doi=10.1016/j.medengphy.2019.03.006&domain=pdf
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Fig. 1. (A) Generic distal radius fracture plate geometry attached to an idealised model of a fractured distal radius. A schematic of a 3D ply layup is included for illustrative 

purposes (ratio of fibre diameter to ply thickness is not to scale). Boundary conditions applied to distal radius are shown. (B) Illustration of the numbering used to identify 

specific holes in the DRP. 
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. Model development 

The multi-scale modelling approach implemented in the cur-

ent study entails: (i) the analysis of the stress-strain distribu-

ion in the macroscopic composite distal radius fracture fixation

lates under physiological loading; (ii) analysis of intra-ply micro-

tructural failure mechanisms. 

.1. Macro-scale model of distal radius fracture plate 

A generic geometry of a distal radius fracture fixation plate

s created based on commercially available compression type im-

lants [7] . The fixation plate is modelled in Abaqus 2017 (SIMU-

IA, Providence, RI, USA) using approx. 10 0,0 0 0 3D continuum

lements (C3D8R). The plate is attached to an idealised bone

eometry through rigid screw fixations at each screw hole. Bound-

ry conditions that replicate the loading conditions induced dur-

ng physiological movements of the wrist are applied to the

lated bone. Unless otherwise stated physiological loading condi-

ions will be torsion and bending moments of Tx = 0.68 Nm and

y = 1.05 Nm [8–10] , respectively ( Fig. 1 ). 

To assess the design requirements of the implant and determine

he optimum ply layup, five laminate layup configurations are con-

idered: 

Laminate 1: A unidirectional 0 ° CF/PEEK laminate [ 0 ◦8 ] s, here-

after referred to as ‘0 ° laminate’; 

Laminate 2: A unidirectional 90 ° CF/PEEK laminate [ 90 ◦
8 
] s, here-

after referred to as ‘90 ° laminate’; 

Laminate 3: A CF/PEEK [ ± 45 °]4s laminate, hereafter referred

to as the ‘45 ° laminate’; 

Laminate 4: A CF/PEEK laminate with a ply layup of [ ±45 ◦2 / 0 
◦
4 ] s;

Laminate 5: A [ 0 ◦
2 
/ ± 45 ◦] 2s CF/PEEK laminate. 

All laminates have an equal number of plies (16), each ply

as a thickness of 0.2 mm, and the fixation plates have an over-

ll thickness of 3.2 mm. The material properties for a unidirectional

F/PEEK ply are outlined in Table 1 based on the study of Gallagher

f ( σ ) = 

(√ 

F ( σ22 − σ33 ) 
2 + G ( σ33 − σ11 ) 

2 + H (
t al. [6] . In addition to comparing the performance of the lami-

ate designs above, a homogeneous and isotropic titanium plate is

imulated ( Table 1 ). 

.2. Laminate computational damage and failure model 

Fibre reinforced composite materials can exhibit a number of

amage and failure mechanisms, which depend on the mode of

oading. Damage mechanisms reported by Gallagher et al. for

F/PEEK include anisotropic plasticity, intra-laminar crack propa-

ation and inter-laminar delamination [6] . The calibrated and val-

dated damage and failure model for CF/PEEK developed by Gal-

agher et al. is used to analyse the performance of the composite

mplants described in Section 2.1 . 

The anisotropic yield behaviour of the laminate is computed us-

ng Hill’s potential function [11] . 

σ22 ) 
2 + 2 Lσ 2 

23 
+ 2 Mσ 2 

31 
+ 2 Nσ 2 

12 

)
− σyield = 0 (1) 

here F, G, H, L, M , and N are constants obtained from experimen-

al testing of the material. The anisotropic yield stress ratios R ij cal-

brated from the experimental results of Gallagher et al. are listed

n Table 1 . 

The intra-laminar failure criteria are based on a modified

ashin-type damage model, describing tensile and compressive

rack formation in both the transverse and fibre directions within

 ply, as described in Eqs. (2 )–( 5 ) below. 

f m 

T = 

(
( σ22 + σ33 ) 
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Y 2 
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)
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(
σ 2 

23 − σ22 σ33 
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)
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(
σ 2 
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13 

S 2 

)
(2) 

f m 
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Y C 
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](
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)
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( σ22 + σ33 ) 
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+ 

σ 2 
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+ 
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= 
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= 
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(
σ13 
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)2 

(5) 
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Table 1 

Elastic material properties and tensile, compressive and shear strengths, inter-laminar CZM 

model parameters and anisotropic plasticity model parameters for macro-scale DRP simula- 

tions. Material properties for simulation of titanium DRP also presented. 

CF/PEEK [6] Titanium [15] 

E 11 = 175.4 GPa X T = 2882 MPa σ y = 111 MPa σ max = 49.5MPa E = 112GPa 

E 22 = 9.4 GPa Y T = 50 MPa R 11 = 250 τ max = 37 MPa v = 0.3 

E 33 = 9.4 GPa X C = 1182 MPa R 22 = 1.0 δn = 10 μm σ y = 847 MPa 

v 12 = 0.38 Y C = 186 MPa R 33 = 1.0 δt = 10 μm 

v 13 = 0.38 S = 96 MPa R 12 = 0.64 

v 23 = 0.46 G ic = 1.44 kJ/m 

2 R 13 = 0.64 

G 12 = 5.2 GPa G iic = 1.0 kJ/m 

2 R 23 = 1.0 

G 13 = 5.2 GPa 

G 23 = 1.9 GPa 
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where f m 

T 
and f m 

C 
are the tensile and compressive matrix failure

criteria, respectively. f 
f 

T 
and f 

f 
C 

are the tensile and compressive fi-

bre failure criteria, respectively. Y T and Y C are the transverse ten-

sile and compressive strengths, respectively. X T and X C are the lon-

gitudinal tensile and compressive strengths, respectively, and S is

the shear strength of the CF/PEEK material. When any of the above

failure criteria equals 1 a crack is initiated. The extended finite ele-

ment method (XFEM) [12] is implemented to simulate crack propa-

gation through the laminate following initiation. The intra-laminar

failure criteria are implemented through a user defined damage

initiation subroutine (UDMGINI). 

Inter-laminar failure, simulated using a cohesive zone formula-

tion, is governed by the mode dependent traction separation rela-

tions defined below, developed by McGarry et al. [13] . The coupled

dependence of interface traction on normal ( �n ) and tangential

( �t ) interface separation is described in Eqs. (6) and (7) . A number

example problems are presented in O’Mairtin et al. [14] to illus-

trate the role of coupling terms during mixed mode debonding. In

Eqs. (8) and (9) we present an extension of the model to penalise

overclosure ( �n < 0) when a compression of the interface is ac-

companied by a shear (tangential traction). This entails a removal

of coupling terms from the expression for normal traction, i.e. if

�n < 0, T n = T n ( �n ). 

T n ( �n , �t ) = σmax exp ( 1 ) 

(
�n 

δn 

)
exp 

( 

−
√ 

�2 
n 

δ2 
n 

+ 

�2 
t 

δ2 
t 

) 

(6)

�n ≥ 0 

T t ( �n , �t ) = τmax exp ( 1 ) 

(
�t 

δt 

)
exp 

( 

−
√ 

�2 
n 

δ2 
n 

+ 

�2 
t 

δ2 
t 

) 

(7)

T n ( �n ) = σmax exp ( 1 ) 

(
�n 

δn 

)
exp 

( 

−
√ 

�2 
n 

δ2 
n 

) 

(8)

�n < 0 

T t ( �n , �t ) = τmax exp ( 1 ) 

(
�t 

δt 

)
exp 

( 

−
√ 

�2 
t 

δ2 
t 

) 

(9)

σ max is the maximum normal traction (referred to hereafter as

the “mode I interface strength”), τmax is the maximum tangential

traction (referred to hereafter as the “mode II interface strength”).

δn and δt are the normal and tangential interface characteristic

lengths, respectively [13] . The cohesive zone model (CZM) is im-

plemented through a user defined interface subroutine (UINTER). 

The CF/PEEK material properties along with the calibrated ma-

terial parameters for the damage and failure formulations previ-

ously described are listed in Table 1 below. 
. Micro-mechanical model of CF/PEEK micro-structure 

Accumulations of micro-mechanical damage, such as fibre ma-

rix debonding, can result in catastrophic failure of the laminate on

 macro-scale. However, damage on a micro-scale is not predicted

y the macro-scale analysis of the DRPs. Therefore, a micro-scale

amage model is developed to gain an enhanced understanding

f the micro-failure mechanisms of the composite fracture fixation

late under physiologically relevant loads. Micro-scale representa-

ive volume elements (RVE’s) with fibre volume fractions (FVF) of

2% are constructed (a sample RVE is shown in Fig. 2 (A)). A Python

cript is developed to implement a random sequential adsorption

lgorithm to randomly distribute the carbon fibres within the ma-

rix. If a randomly generated fibre intersects the edge of the RVE

nother fibre is mirrored on the opposite face of the RVE to main-

ain periodicity. The RVE’s used in this study have an overall size

f 50 × 50 μm and a fibre diameter of 5 μm. 

Periodic boundary conditions [16] are applied along the bound-

ries of the RVEs to ensure that opposing faces remain parallel. The

quations have been expressed in terms of nodal displacements

ectors, u , in Eqs. (10) and (11) , 

 a = u c − u n 4 (10)

 d = u b − u n 2 (11)

here, the subscripts a, b, c and d relate to nodes located on

ach face of the RVE and the subscripts n 2 , n 3 and n 4 correspond

o the nodes located at the corners of the RVE, demonstrated in

ig. 2 (Bi) and (Bii). The CZM model ( Eqs. (6)–(9) ) is used to sim-

late debonding of the matrix material from the embedded CFs.

ZM characteristic lengths of 1 × 10 −3 μm are applied at the fibre

atrix interface [17,18] . Tensile tests are simulated on the micro-

tructural RVEs to calibrate the interface strength between indi-

idual fibres and the surrounding PEEK matrix. The normal and

ransverse interface strengths are assumed to be equal. Results are

alidated using experimental data for aligned 90 ° tension tests by

allagher et al. [6] . Following calibration, the multi-axial strain

tate at the point of initial failure in a DRP is applied to the RVE

o determine the microstructural failure mode under physiological

oading. Table 2 . 

Neat PEEK material has been shown to exhibit asymmetric

ielding, with a higher yield stress in compression than in tension.

urthermore, the plastic yielding of PEEK has been shown to be

ate dependent in both tension and compression [20] . The strain

ensitive extended Drucker–Prager model is used to simulate yield-

ng of PEEK matrix material that surrounds the fibres in the micro-

tructural RVE model. The deviatoric stress measure is defined as:

 = 

q 

2 

[
1 + 

1 

K 

−
(

1 − 1 

K 

)(
r 

q 

)3 
]

(12)
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Fig. 2. (A) Illustration of the micro-mechanical representative volume elements with a 62% fibre volume fraction. (B) Schematic of the periodic boundary conditions applied 

to the RVE. 

Table 2 

Material properties of the PEEK matrix 

material and the embedded carbon fibres 

used in micro-mechanical simulations of 

RVE micro-structure. 

Carbon fibre [19] PEEK [2] 

E 11 = 263 GPa E = 4 GPa 

E 33 = E 22 = 19 GPa v = 0.36 

v 12 = v 13 = 0.2 σ yt = 108 MPa 

v 23 = 0.35 σ yc = 142 MPa 

G 12 = G 13 = 27.6 GPa 

G 23 = 7.04 GPa 

w  

i  

t  

f  

P  

T

F  

w  

t  

t  

o  

b

σ

 

P  

1  

t  

a  

P  

σ

4

4

 

p  

m  

F  

p  

i

 

t  

u  

a  

h  

i  

9  

v  

l  

i  

l  

i  

d  

l  

l  

4  

3  

a  

t  

t

 

p  

[

p  

[  

a  

[  

f  

g

 

l  

d  

(  

s  

a  

o  

d  

i  

o  

b  

i  

m  

1  

l  

d  

n  

v

 

i  

M  

p

 

(  

o  

i  
here K is the ratio of flow stress in triaxial tension to flow stress

n triaxial compression, q is the Mises equivalent stress and r is the

hird invariant of deviatoric stress. This formulation allows for dif-

erent yield values in tension and compression, as is the case with

EEK [20] . To ensure convexity of the yield surface 0.778 ≤ K ≤ 1.0.

he yield surface is defined as: 

 = t − p tan β − d = 0 (13)

here p is the equivalent pressure stress ( p = − 1 
3 trace (σ )) , β is

he friction angle of the material and d is the hardening parame-

er which measures the cohesion of the material. The linear form

f the Drucker-Prager model for tri-axial compression is outlined

elow: 

1 − σ3 + 

tan β

2 + 

1 
3 

tan β
( σ1 + σ3 ) −

1 − 1 
3 

tan β

1 + 

1 
6 

tan β
σ 0 

c = 0 (14) 

The compressive and tensile yield strengths of unreinforced

EEK have been determined experimentally to be 108 MPa and

42 MPa, respectively [20] . Using these yield strength values re-

urns values of φ = 7.82 ° and c = 61.9 MPa for the friction angle

nd the matrix cohesion, respectively and the following Drucker-

rager parameters are calculated for PEEK K = 0.913, β = 15.9 ° and
0 
c = 141.96 MPa. 

. Results 

.1. Macro-scale model of composite fracture fixation plate 

Bending, torsion, and combined bending-torsion loading are ap-

lied to all laminated fixation plates. Failure loads and failure

odes for each of the laminate layups are listed in Tables 3–5 . A

actor of Safety (FoS) for each laminate is also computed based on

ublished physiological loads (0.68Nm torsion and 1.05Nm bend-

ng moment). 

Examining the computed FoSs listed in Table 3 , it is clear that

he laminate layup has a significant effect on the strength and fail-

re location of the DRP in bending. The 0 ° laminate, whose fibres

re aligned in the x-axis parallel to the axis of the radius bone,
as the highest predicted FoS in bending of 4.62. The 0 ° laminate

s predicted to fail at an applied bending moment of 4.85 Nm. The

0 ° laminate, which has fibres aligned along the y -axis, provides

ery little resistance to the applied bending moment. An intra-

aminar matrix crack is predicted to initiate at an applied bend-

ng moment of only 0.325 Nm (see Fig. 3 (A)), more than ten times

ower than the failure moment of the 0 ° laminate. The 45 ° lam-

nate has a predicted FoS of 1.14, with the outermost plies pre-

icted to fail due to a tensile matrix crack at an applied bending

oad of 1.2 Nm. The predicted mode of failure for the [ ±45 ◦
2 
/ 0 ◦

4 
] s

aminate is intra-laminar tensile matrix cracking of the outermost

5 ° and −45 ° plies (ply 1&2) at an applied bending moment of

.51 Nm. The [ 0 ◦
2 
/ ± 45 ◦] 2s laminate design is predicted to fail at

n applied bending moment of 4.5 Nm. Similar to the 0 ° laminate,

he predicted mode of failure is an intra-laminar matrix crack of

he outermost ply at the edge of a screw hole. 

All DRP designs fail at applied bending moments greater than

hysiological loads, apart from the 90 ° DRP. The [ ±45 ◦2 / 0 
◦
4 ] s and

 0 ◦
2 
/ ± 45 ◦] 2s laminates have an equal number of 0 ° and ±45 °

lies in their layup. However, a higher FoS is predicted for the

 0 ◦
2 
/ ± 45 ◦] 2s laminate. In the [ ±45 ◦

2 
/ 0 ◦

4 
] s laminate all the 0 ° plies

re located near the centre of the DRP, whereas in the case of the

 0 ◦
2 
/ ± 45 ◦] 2s laminate the 0 ° plies are positioned on the outer sur-

aces of the DRP, thus providing a higher bending strength (28%

reater than the [ ±45 ◦2 / 0 
◦
4 ] s design). 

As shown in Table 4 , all DRP designs fail at applied torsional

oads greater than physiological value ( Tx = 0.68 Nm). However,

espite its high FoS in bending, the 0 ° laminate has the lowest FoS

1.37) in torsion, failing at an applied torque of 0.93 Nm, demon-

trating that a design consisting of only 0 ° fibres does not provide

 high resistance to torsional failure. In contrast, the predicted FoS

f the 90 ° DRP in torsion is three times greater than the FoS pre-

icted for the 90 ° plate in bending. A higher FoS for torsional load-

ng is predicted for the 45 ° laminate design (FoS = 2.4). Failure

ccurs due to an intra-laminar matrix cracking parallel to the fi-

res in the first 45 ° ply at an applied torque of 1.63 Nm. Failure

n the [ ±45 ◦
2 
/ 0 ◦

4 
] s DRP is predicted to occur due to intra-laminar

atrix cracking in the outermost 45 ° plies at an applied torque of

.78 Nm. The [ 0 ◦
2 
/ ± 45 ◦] 2s DRP is predicted to fail due to an intra-

aminar matrix crack at an applied torque of 1.22 Nm. The pre-

icted torsional FoS for the [ ±45 ◦2 / 0 
◦
4 ] s and the [ 0 ◦2 / ± 45 ◦] 2s lami-

ates, 2.62 and 1.79, respectively, are lower than the corresponding

alues of FoS in bending (3.34 and 4.29, respectively). 

DRP failure under combined bending/torsion loading is reported

n Table 5 . A ratio of applied bending moment to applied torque of

y / Tx = 1.54 is maintained throughout each simulation, based on

hysiologically measured values [8–10] . 

The highest FoS is computed for the [ 0 ◦2 / ± 45 ◦] 2s laminate

FoS = 2), followed by the [ ±45 ◦
2 
/ 0 ◦

4 
] s laminate (FoS = 1.72) are the

nly layups that will not fail within the allowable FoS under bend-

ng and torsional loading alone as well as under combined loading.
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Table 3 

Bending failure modes, applied moments at failure, and failure locations for all laminate layups. 

Laminate layup Mode of failure and location Bending moment at failure (Nm) Computed FoS 

[ 0 ◦8 ] Intra-laminar transverse tensile crack 4.85 4.62 

Ply 1 (0 °) at a screw hole 9 

[ 90 ◦8 ] Intra-laminar transverse tensile crack 0.325 0.31 

Ply 1 (90 °) (see Fig. 3 (A)) 

[ ±45 °]4s Intra-laminar transverse tensile crack 1.20 1.14 

Ply 1 (45 °) at a screw hole 8 

[ ±45 ◦2 / 0 
◦
4 ] Intra-laminar transverse tensile crack 3.51 3.34 

Ply 1 (45 °) at a screw hole 9 

Ply 2 ( −45 °) at edge of implant where distal end joins the main shaft 

[ 0 ◦2 / ± 45 ◦] 2s Intra-laminar transverse tensile crack 4.5 4.29 

Ply 1 (0 °) at a screw hole 9 

Table 4 

Torsional failure modes, applied torques at failure, and failure locations for all laminate layups. 

Laminate layup Mode of failure and location Torsional moment at failure (Nm) Computed FoS 

[0 °8 ] Intra-laminar transverse tensile crack 0.93 1.37 

Ply 16 (0 °) at a screw hole 1 

[90 °8 ] Intra-laminar transverse tensile crack 0.97 1.43 

Ply 1 (90 °) mid-line of main shaft of implant 

[ ±45 °]4s Intra-laminar transverse tensile crack 1.63 2.40 

Plies 16 (45 °), 14 (45 °) and 2 ( −45 °) at laminate edge where main shaft meets hole 1 

[ ±45 ◦2 / 0 
◦
4 ] s Intra-laminar transverse tensile crack 1.78 2.62 

Plies 16 (45 °), 15 ( −45 °), 14 (45 °), 3 (45 °) and 2 ( −45 °) at laminate edge (see Fig. 3 (B)) 

[ 0 ◦2 / ± 45 ◦] 2s Intra-laminar transverse tensile crack 1.22 1.79 

Ply 16 (0 °) at a screw hole 1 

Table 5 

Combined bending and torsion failure modes and failure locations for all laminate layups. 

Laminate layup Mode of failure and location Combined moment at failure (Nm) Computed FoS 

[ 0 ◦8 ] Intra-laminar transverse tensile crack My = 1.50 Nm, Tx = 0.97 Nm 1.43 

Ply 16 (0 °) at a screw hole 1 

[ 90 ◦8 ] Intra-laminar transverse tensile crack My = 0.30 Nm, Tx = 0.19 Nm 0.29 

Ply 1 (90 °) mid-line of main shaft of implant 

[ ±45 °]4s Intra-laminar transverse tensile crack My = 1.34 Nm, Tx = 0.87 Nm 1.28 

Ply 2 ( −45 °) at laminate edge 

[ ±45 ◦2 / 0 
◦
4 ] s Intra-laminar transverse tensile crack My = 1.81 Nm, Tx = 1.17 Nm 1.72 

Ply 2 ( −45 °) at laminate edge ( Fig. 4 (A)) 

[ 0 ◦2 / ± 45 ◦] 2s Intra-laminar transverse tensile crack My = 2.1 Nm, Tx = 1.36 Nm 2.0 

Plies 16 & 15 (0 °) at hole 1 ( Fig. 4 (B)) 
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In the case of the [ ±45 ◦2 / 0 
◦
4 ] s laminate, a crack is predicted in the

outermost −45 ° ply (ply 2) at the laminate edge ( Fig. 4 (A)). In the

case of the [ 0 ◦
2 
/ ± 45 ◦] 2s laminate, a crack is predicted in the out-

ermost 0 ° plies (plies 16 and 15) at a screw hole ( Fig. 4 (B)). 

The initial failure of each DRP design in bending, torsion and

combined loading is computed to occur due to intra-laminar

cracking. We next examine the required load to induce inter-ply

delamination in the [ 0 ◦2 / ± 45 ◦] 2s design. Fig. 5 shows the trans-

verse stress distribution ( σ 22 ) in the [ 0 ◦
2 
/ ± 45 ◦] 2s laminate at ap-

plied loads of My = 4.58 Nm, Tx = 2.96 Nm (a factor of 4.4 times

higher than physiological loading and 2.2 times higher than the

load at initial intra-ply cracking). Significant levels of mode II de-

laminations are predicted in the shaft of the DRP around the first

screw hole (highlighted in the insert). Under pure torsion the

[ 0 ◦
2 
/ ± 45 ◦] 2s laminate undergoes mode II inter-ply delaminations

at an applied load of 3.0Nm, 2.5 times higher than the load at

which intra-laminar cracking initiates. In the pure bending, inter-

ply delamination is not predicted in the [ 0 ◦2 / ± 45 ◦] 2s laminate

at applied bending moments of 7.4Nm, more than seven times

greater than physiological loads. 

A comparison of the stiffness and strength of the laminated DRP

designs with a titanium implant of identical dimensions is shown

in Fig. 6 . All laminated DRP curves are plotted up the point of

intra-laminar cracking, whereas the curve for the titanium plate
s plotted up to the point at which the von Mises stress reaches

he yield stress (825 MPa; see Table 1 ). As shown in Fig. 6 (A), the

ending stiffness of a laminated plate is highly dependent on the

ayup design. For example, the 0 ° and [ 0 ◦2 / ± 45 ◦] 2s DRP exceed

he bending stiffness of a titanium plate. In contrast, the bending

tiffness of the [ ±45 ◦
2 
/ 0 ◦

4 
] s DRP is ∼50% of the titanium DRP. In

orsion, all laminated DRP designs are significantly more compliant

han the titanium DRP. In general, Fig. 6 illustrates the potential of

aminated plate design to reduce stress shielding (associated with

igh stiffness metallic plates) while providing adequate strength

o support physiological loading (see FoS values reported in

ables 3–5 ). 

.2. Micro-scale model of fibre-matrix debonding in RVE 

As indicated in Tables 3–5 , intra-laminar tensile matrix cracking

 Eq. (2) ) is the initial failure mode of every single laminate DRP.

hile the layup design and the mode of loading strongly influ-

nces the crack location and FoS, for all prototype layup designs

ntra-laminar matrix cracking is predicted as the initial failure

ode. The model parameters, Y T and S , associated with this fail-

re mode were calibrated and validated in a recent experimental-

omputational analysis of CF/PEEK. However, such macro-scale

amage modelling does not uncover the precise failure mechanism
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Fig. 3. (A) Computed crack propagation in the 90 ° laminated fixation plate at an applied bending moment of 1.4 Nm, where f m T is the tensile failure criterion (1.0 depicts 

an element that is fully cracked). (B) Computed crack propagation in the [ ±45 ◦2 / 0 
◦
4 ] s laminated fixation plate at an applied torque of 1.78 Nm. 

Fig. 4. Predicted intra-laminar transverse tension cracks under combined bending-torsion loading for: (A) the [ ±45 ◦2 / 0 
◦
4 ] s DRP; and (B) the [ 0 ◦2 / ± 45 ◦] s DRP. Contours depict 

the distribution of transverse stress ( σ 22 ) for an applied load of My = 1.81 Nm and Tx = 1.17 Nm. 
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Fig. 5. Contour plot of the transverse stress ( σ 22 ) distribution in the [ 0 ◦2 / ± 45 ◦] 2s 

laminate at the point of inter-laminar failure under combined loads of 

My = 4.58 Nm, Tx = 2.96 Nm, i.e. 4.4 times greater than physiological loading. 

Predicted mode II delamination is highlighted in the insert by black arrows. 
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that results in intra-laminar tensile matrix cracking. Here we per-

form a micro-mechanical analysis of a micro-structural RVE (as de-

scribed in Section 3 ) to determine if intra-laminar tensile matrix

cracking results from (i) ductile failure of the PEEK matrix, or (ii)

localised debonding of the PEEK matrix from CFs. 

4.2.1. Micro-mechanical model calibration 

The elastic plastic matrix material behaviour, including asym-

metric yielding, has been experimentally characterised in a previ-

ous study [6] and Drucker–Prager material parameters are given in

Section 3 . However, the interface strength ( σ max ) between the ma-

trix and the CFs has not previously been determined. Here we per-

form a parametric study to determine the interface strength, and

consequently the failure mechanism, by comparing model predic-

tions to experimental transverse tensile data from a previous study

by the authors [6] . 

In Fig. 7 (A) the predicted RVE stress-strain behaviour is com-

pared to experimental data for a range of interface strengths. For

a high interface strength ( σ max = 500 MPa) matrix-fibre debond-

ing is not computed. The stress-strain curve is stiffer than the ex-

perimental curve for strains greater than 0.001. A yield point is

predicted at a stress of ∼100 MPa, followed by strain hardening.

Such behaviour is not observed experimentally, specimen failure

was observed at an ultimate strength of 49.6 ± 33.92 MPa without

any distinct yielding or strain hardening. An interface strength of

σ max = 110 MPa results in the prediction of an ultimate strength

of 51.6 ± 3.93 MPa. Similar to experimental observation, the slope

of the RVE stress-strain curve is predicted to reduce as a result
Fig. 6. (A) Applied bending moment versus deflection of Point B (see Fig. 1 ) for all lam

(see Fig. 1 ) for all laminate layups and for titanium DRP. Curves are plotted up to the po

deformation. 
f progressive fibre-matrix debonding as the strain applied to the

VE is increased. Reduction of the interface strength to a value

ower than 110 MPa results in an under-prediction of the ultimate

trength of the RVE. Fig. 7 (B) shows the predicted stress-strain

urves and ultimate strength of five RVE geometries. Again, an in-

erface strength of 110 MPa is used. Each RVE has a different ran-

omly generated fibre distribution, with a fibre volume fraction of

2%. A reasonable match with experimental data is observed for all

VEs. A computed ultimate strength of 51.6 ± 3.93 MPa at a strain

f 0.0058 ± 0.0005 is statistically similar ( t (4) = −1.01, p = 0.37) to

he experimental ultimate strength of 49.6 ± 3.92 MPa at a mea-

ured strain of 0.0054 ± 0.0005. Fig. 7 (C) shows that stress in

he matrix material is reduced locally in region adjacent to a

ebonded surface. Fig. 7 (D) shows the significant levels of fibre-

atrix debonding at the point of failure of the RVE. Furthermore,

ig. 7 (D) shows that the significant plastic deformation does not

ccur in the matrix during loading to failure. This further demon-

trates that fibre-matrix debonding is the underlying failure mech-

nism in 90 ° tensile laminate tests, rather than plastic deformation

r damage of the matrix material. In Fig. 7 (E) the jagged nature

f the fracture surface of a transverse tensile experimental speci-

en is shown. The discontinuous nature of the experimental crack

hown is well described by the propagation of failure in the micro-

echanical RVEs. 

.2.2. Micro-mechanical failure during macro-mechanical loading 

We next use the micro-structural RVE to demonstrate that the

ailure mechanism of the laminated DRP is fibre-matrix debond-

ng rather than plasticity or damage of the matrix material. Con-

idering the [ 0 ◦2 / ± 45 ◦] 2s laminated DRP, in Fig. 8 (A) we show

he strain state in the outermost 0 ° ply under physiological load-

ng levels. Recall that our macro-scale damage model predicts

racking at point A in this ply when the applied loading is in-

reased to twice the physiological level. At physiological loading

prior to the macro-scale prediction of cracking) the in-plane strain

tate orthogonal to the fibre direction at point A is computed as

23 = 0.0024, ε22 = 0.0025 and ε33 = 0.0014 (corresponding to in-

lane principal strains of 0.00327 and 0.00063). This strain state

s applied to the micro-mechanical RVE, and the resultant micro-

tructural stress distribution is shown in Fig. 8 (Bi). No significant

tress concentrations are observed in the matrix. Fig. 8 (Bii) shows

hat at physiological loading no significant plastic deformation of

he matrix or debonding is computed. The macro-scale damage

odel predicts cracking at Point A when applied loading is in-

reased to twice the physiological level. The corresponding strain

tate ( γ 23 = 0.0048, ε22 = 0.005 and ε33 = 0.0028) is applied to the

VE and the resultant micro-structural stress distribution is shown
inate layups and for titanium DRP. (B) Applied torque versus deflection of Point A 

int of failure. Failure for the titanium plate is characterised by the onset of plastic 
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Fig. 7. (A) Computed RVE nominal stress-nominal strain curves for a range of interface strengths ( σ max ) for a single RVE geometry subjected to uniaxial tensile loading. 

Experimental uniaxial transverse tensile stress-strain curve [6] used to calibrate σ max . (B) Nominal stress-nominal strain uniaxial tension curves for five RVE geometries with 

interface strengths of σ max = 110 MPa. Insert shows the mean and standard deviations of failure stress and failure strain for experimental data [6] (red crosshairs) and the 

RVE predictions (navy crosshairs). (C) Contour plots of the equivalent plastic strain ( ̂ ε pl ) distribution in three separate RVEs at the point of failure under uniaxial tension. (D) 

Contour plots of the von Mises stress ( σ ) distribution in the RVEs at the point of failure under uniaxial tension. (E) Experimental image of crack propagation through 90 °
laminate from experiments carried out by Gallagher et al. [6] . 
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n Fig. 8 (Ci). While significant stress concentrations are computed,

he matrix stress is relaxed adjacent to debonded surfaces. Signif-

cant levels of fibre-matrix debonding are computed, with 18 of

he 76 fibres (24%) partially separating from the matrix. Highly

ocalised plastic deformation of the PEEK matrix is computed in

ocations of stress concentrations. While higher areas of plastic de-

ormation computed for this multi-axial loading than for uniax-

al tensile loading ( Fig. 7 (D)), the levels of plastic deformation in

ig. 8 (Cii) are not sufficiently high (maximum ˆ ε pl = 0 . 05 ) to re-

ult in ductile failure of the matrix material [20] , and fibre-matrix

ebonding is again the micro-structural failure mechanism. 

. Discussion 

The current study demonstrates that CF/PEEK laminated DRPs

an be designed with similar geometric dimensions to conven-

ional metal plates while providing sufficient structural strength

o support physiological levels of loading. Macro-scale structural

nalysis of a distal radius fracture fixation plate highlights the im-

ortance of ply orientation. A high number of 0 ° plies near the

uter surfaces results in a greater bending strength while the ad-

ition of 45 ° plies increases the torsional strength of the lami-

ates. Ply layup design significantly influences the effective bend-

ng stiffness of the DRP. [ 0 ◦/ ± 45 ◦] 2s and 0 ° laminates exceed the

2 
ffective bending stiffness of titanium DRP, whereas a [ ±45 ◦
2 
/ 0 ◦

4 
] s

aminate provides a bending stiffness that is ∼50% that of a tita-

ium DRP. All laminate designs provide an effective torsional stiff-

ess that is significantly lower than that of a titanium DRP. How-

ver, it should be noted that the torsional stiffness of long bones

s significantly lower than the bending stiffness; experiments car-

ied out on adult femurs report a torsional stiffness of 5.0 Nm/deg,

ompared to a bending stiffness of 2.5 GPa [21] . The demonstrated

otential of laminated DRPs to provide reduced bending and tor-

ional stiffness, while still providing sufficient strength to support

hysiological loading, can be exploited to eliminate stress shield-

ng associated with traditional metallic implants [22] . While the

urrent study does not determine an optimal device configuration,

he detailed analysis of five ply layup configurations provides, for

he first time, an outline of the key challenges and benefits of de-

eloping CF/PEEK laminated orthopaedic implants. 

Macro-scale DRP simulations incorporate a multi-axial multi-

ode damage model calibrated and validated in a recent

xperimental-computational study by the authors. This macro-

cale damage model incorporates intra-laminar cracking, interlami-

ar delamination, and anisotropic plasticity. Implementation of this

ulti-mode damage framework for the simulation of DRPs under

hysiological loading predicts that intra-laminar transverse ten-

ile crack is the primary mode of DRP failure under physiological
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Fig. 8. (A) Multi-axial strain state at Point A in the outermost ply of the [ 0 ◦2 / ± 45 ◦] 2s laminat ed DRP under physiological loading ( M y = 1.05 Nm, T x = 0.68 Nm). Comput ed 

strain-state is applied to micro-structural RVE. (B) Von Mises stress ( σ ) and equivalent plastic strain ( ̂ ε pl ) distributions in RVE at physiological loading. (C) Von Mises stress 

( σ ) and equivalent plastic strain ( ̂ ε pl ) distributions in RVE at two times physiological loading. Inserts highlight matrix-fibre debonding. Macro-model predicts transverse 

tensile cracking at Point A at this level of applied loading. 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

T  

d  

l  

p  

s  

o  

a  

L  

d

F

 

C

C

E

A

 

C

S

 

f  

0

A

 

loading. We perform a multi-scale micro-mechanical analysis of

the CF-PEEK microstructure to uncover the precise mechanism

under-lying intra-laminar transverse tensile crack. Simulations re-

veal that this damage mechanism results from debonding of the

PEEK matrix from CF fibres. Plastic strains in the matrix material

are not sufficiently high to result in ductile failure of the matrix.

The fibre-matrix interface strength of Optima UR is computed to

be 110 MPa. Reported experimental values for the fibre matrix in-

terface strength of carbon fibre reinforced polymers have been as

high as 202 MPa [23] . Fibre sizing, a process by which a film is

dispersed onto the surface of the fibre in order to improve the

surface chemistry, could be considered to increase the fibre-matrix

adhesion [24,25] . However to date, PEEK remains largely incompat-

ible with most sizings, due to their low degradation temperatures

( ∼250 °C), to overcome this new high performance thermoplastic

sizing formulations are being developed [26] . 

The current study implements a rigid fixation of screws to the

CF/PEEK implant and to the bone fragments. A previous experi-

mental and computational investigation examined the influence of

osteon orientation on the bone-screw pull-out strength [27] . Using

such techniques, a follow-on study is currently being performed to

characterise the pull-out strength at the screw-laminate interface.

Future investigations should also consider fretting fatigue damage

at the screw-laminate interface using established experimental and

computational techniques [28,29] . The current modelling frame-

work can also be readily used to investigate the response of im-

plants to a range of loading rates. Further studies should assess the

influence of stiffness and anisotropy of CF/PEEK substrates on cell

behaviour [30–32] , in addition to investigation of CF/PEEK debond-

ing and cracking on cell adhesion [33,34] . Furthermore, the ef-

fect of altered peri–prosthetic strain rate on osteoblast biomechani-

cal behaviour following device implantation should be investigated

[35,36] . 

Through careful selection of the orientation of individual plies,

the macro-scale effective anisotropy composite fracture plates can

be matched to the anisotropic properties of bone, which is itself

a self-assembling aligned long fibre reinforced composite material.
 m  
herefore, different laminate configurations can be designed for

ifferent areas in the body, as a function of both the physio-

ogical loading conditions and the density and anisotropy of the

eri-prosthetic bone. Careful laminate design can also limit the

tress concentrations near screw holes, minimizing the possibility

f screw pull out. This is critically important if CF/PEEK laminates

re to provide a clinically viable alternative to metal fixation plates.

aminate failure around the screw hole will be examined in greater

etail in a follow-on experimental and computational study. 
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ppendix A 

In “Abaqus/Standard” implicit finite element schemes contact

echanics entails the definition of a master and a slave surface.

https://doi.org/10.13039/501100002081
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Fig. A1. Schematic of the unit normal vector calculated for node 2 on two master 

surface geometries (A) and (B); illustration of the unit normal calculated for the 

corner node of a fibre crossing the boundary of the RVE for (C) a sectioned fibre 

and (D) a partitioned fibre. 
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nder finite-deformation large-sliding conditions and any given

lave node may interacts with any subset of master surface nodes.

he subset of master surface nodes is identified by defining the

earest neighbour nodes to the point on the master surface closest

o the slave node. Before defining this nodal subset, unit normal

ectors for each node on the master surface must be computed.

he unit normal vector is calculated by averaging the unit normal

ectors of the two segments either side of a given node. As an ex-

mple, an interaction between master surface nodes (labelled 1, 2

nd 3) and a slave surface is shown in Fig. A1 (A) and (B): the unit

ormal vector of node 2 is calculated by averaging the unit normal

ectors of segments 1–2 and 2–3. 

Examining Fig. A1 (A) and (C), it is clear that if a fibre crossing

he boundary of the RVE is sectioned along the boundary edge, a

kewed unit normal vector will be calculated. As a result of the

kewed unit normal vector numerical singularities occur on the

orner nodes of the sectioned fibres. However, if the fibre is left

hole, demonstrated in Fig. A1 (B) and (D), the correct normal vec-

or is calculated. For this study the fibres crossing the borders of

he RVE have not been sectioned but partitioned in line with the

dge of the RVE, leaving a “dummy portion” of the fibre on the

utside of the RVE. Such “dummy portions” do not provide any

tructural contribution to the model but are merely used to define

orrect normal vectors for contact calculations at the face of the

VE. The periodic boundary conditions are applied along the fibre

artition so that the periodic deformation of the RVE is correctly

mplemented. 
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